
Journal of Nuclear Materials 406 (2010) 91–96
Contents lists available at ScienceDirect

Journal of Nuclear Materials

journal homepage: www.elsevier .com/ locate / jnucmat
Towards a modelling of RPV steel brittle fracture using crystal plasticity
computations on polycrystalline aggregates

L. Vincent a, M. Libert a,b, B. Marini a,*, C. Rey b

a Service de Recherches Métallurgiques Appliquées, CEA, DEN, 91191 Gif-sur-Yvette, France
b Laboratoire de Mécanique des Sols, Structures et Matériaux, CNRS, UMR 8579, Ecole Centrale Paris, 92295 Châtenay-Malabry, France

a r t i c l e i n f o
Article history:
0022-3115/$ - see front matter � 2010 Elsevier B.V. A
doi:10.1016/j.jnucmat.2010.07.022

* Corresponding author. Tel.: +33 (0) 169088599; f
E-mail address: bernard.marini@cea.fr (B. Marini).
a b s t r a c t

In the frame of the multi-scale approach of the fracture toughness prediction defined in the PERFECT pro-
ject, we proposed a new crystal plasticity model and applied it to the computation of stress heterogene-
ities within a reference polycrystalline aggregate defined in the project RPV material.

The proposed crystal plasticity model is able to take into account the effects of temperature and irra-
diation hardening. The analysis of the results of aggregate computations shows that the distributions of
the maximum values of the maximal principal stresses are found to be well described by a Gumbell func-
tion. Applying these distributions on a Griffith criterion allows settling the basis of an original fracture
criterion. However the increasing resistance to fracture of the steel with temperature can be reproduced
only by introducing a temperature dependence of the fracture energy.

� 2010 Elsevier B.V. All rights reserved.
1. Introduction

Reactor pressure vessel (RPV) steels of nuclear power plant
(A508Cl3, 16MND5, etc.) show strong temperature dependence
of the fracture toughness in the range of the Ductile to Brittle Tran-
sition Temperature (DBTT) [1]. Starting from values below 0 �C, the
transition temperature is increasing during the life of the nuclear
plant due to neutron irradiation embrittlement. This behaviour is
of great importance for the integrity assessment of the pressure
vessel in accidental conditions. As a matter of fact, a convincing
demonstration that the onset of brittle fracture cannot be reached
in such conditions must be proposed. Toughness data and their
scattering can be accurately described in the whole transition,
thanks to fracture modellings based on local approach models like
Beremin or WST models [2,3]. But in order to reproduce the fast in-
crease of toughness with temperature in the DBTT region, the mac-
roscopic critical cleavage stress must be assumed to be an
increasing function of the temperature with a dependence on neu-
tron irradiation [4–6]. In iron, experiments reveal that the surface
energy cs (J/m2) which is related to the cleavage stress is fairly
independent of temperature [7,8]. For bainitic steels, it is experi-
mentally found that the macroscopic critical cleavage stress is al-
most temperature independent, at least, in the lower shelf of the
fracture toughness [9]. Therefore, the use of a temperature-depen-
dent macroscopic critical cleavage stress in computations needs to
be rationalized through a multi-scale physical approach [10].
ll rights reserved.
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Starting from dislocation behaviour, this multi-scale approach
has to account for many different scales [11]. One of them is the
polycrystalline aggregate which links the collective behaviour of
dislocations with the macroscopic behaviour. In this attempt to
predict the brittle fracture which is controlled by the largest values
of the stresses, a precise computation of the stress distributions in
the aggregate is mandatory. Of course, this requires, in the first
place, a precise behaviour law to capture the local stress amplifica-
tion due to the local crystal disorientations. The objective of this
paper is to present the application of this modelling to unirradiated
and then irradiated RPV steel.

2. Material

The RPV material used in this study is the main reference mate-
rial of the PERFECT project named Euromaterial A. It is a 22Ni-
MoCr37 type steel (German standard).

The material is used in the quenched and tempered condition.
For quenching, the forging has been heated up in steps to 880 �C,
then held at this temperature for 8 h and finally quenched. After-
wards it has been heat treated at 660 �C for 8 h and cooled down
in air to room temperature (see Table 1).

Specimens were neutron irradiated in the VAK reactor by Areva
Gmbh. The fluence is 4.3 � 1019 n/cm2 with a neutron energy
En > 1 MeV. The material properties were characterized by tensile
testing in irradiated and unirradiated conditions. The hardening
of the material is observed on the yield stress and on the ultimate
tensile stress. Ductility characteristics do not show significant evo-
lution (Table 2).
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Table 1
Chemical composition of the Euromaterial A in wt.%. (Source: AREVA NP Gmbh.)

C Si P S Cr Mn Ni Cu Mo Ti V Nb Al Fe

0.22 0.23 0.007 0.004 0.39 0.88 0.84 0.08 0.51 0.001 0.003 <0.005 0.013 Bal.

Table 2
Conventional tensile properties at room temperature. (Source: AREVA NP Gmbh.)

Condition T (�C) Yield stress (MPa) Ultimate tensile stress (MPa) Total elongation (%) Reduction of area (%)

Unirradiated 25 464 602 24 72
Irradiated 25 540 818 26 65

Table 3a
Parameters of the plastic flow law.

_c0 (s�1) DG0 (eV) sR (MPa) p q

106 1.00 498 0.283 1.17
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3. Crystal plasticity modelling

Within the framework of the classical theory of thermally acti-
vated dislocation motion, a unified constitutive description of the
mechanical behaviour for bcc material was developed in the frame
of a PhD thesis [12,13]. The model accounts for crystallographic
glide and resulting lattice rotation. For bcc structure, glide is as-
sumed to occur on the 24 {1 1 0} h1 1 1i and {1 1 2} h1 1 1i slip sys-
tems. Most of the bcc structures exhibit a transition in terms of
plasticity mechanisms. At low temperature and up to room tem-
perature, plasticity is governed by the thermally activated mobility
of the screw dislocations (double kink mechanism). At higher tem-
peratures, plasticity also depends on forest hardening. So, the se-
lected viscoplastic constitutive behaviour must describe the
competition between lattice friction and forest hardening. This
crystal plasticity model is composed of three main contributions
[14,15]:

Plastic flow law (the superscript s denotes the considered slip
system) [16]:

_cs ¼ _c0 exp �
DG ss

eff

� �
kBT

2
4

3
5 ð1Þ

With _cs the plastic slip glide rate, _c0 a material dependant parame-
ter, kB the Boltzmann’s constant and T the absolute temperature. seff

is the effective shear stress acting on the slip system s, which can be
seen as the driving force of the thermal activated mechanisms. The
activation enthalpy DG is given by the expression [17,18]:

DGðss
eff Þ ¼ DG0 1�

ss
eff

sp

� �p
 !q

ð2Þ

where sp, p and q are material dependant parameters.
Hardening law [19,20]:

ss ¼ s0 þ sl þ seff ð3Þ

With

ss
l ¼
ðlbÞ2

P
uasuqu

ss � s0
ð4Þ

s0 is the initial critical shear stress and sl is the ‘‘athermal” stress
due to the long range obstacles, here the forest dislocations. l is
the isotropic shear modulus and asu are the coefficients of the slip
systems interaction matrix [19,20].

It should be noted that s0 is not the same for {1 1 0} and {1 1 2}
slip systems [12,13]:

s 1 1 2gf
0 ¼ s 1 1 0gf

0 þ f ðTÞ with f ðTÞ ¼ �0:357T þ 73:7 for T < Tc

¼ 206 �K and f ðTÞ ¼ 0 for T > Tc:

Dislocation density evolution law [21]:
_qs ¼ j
_csj
b

1
Ks � gcðTÞqs

� �
ð5Þ

with b the norm of Burger’s vector and Ks, the mean free path,
dependant on both the forest density and the average ‘‘bainitic
block” size d:

1
Ks ¼

1
d
þ

ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiP
u–squ

p
KðTÞ ð6Þ

with K(T) a material parameter dependant on temperature.
The annihilation distance is assumed to be a thermally activated

according to:

gcðTÞ ¼ gc0 exp � Egc

kBT

� �
ð7Þ

where gc0 and Egc are two different material dependant parameters.
This model was implemented with an implicit integration

scheme in the CAST3M finite element code [22] in the framework
of finite strain.

The identification of most material parameters was made in a
previous work for a bainitic steel [12]. In this paper, only two
material parameters, namely s0 and K(T), are re-evaluated on Euro-
material A for a solution annealed and an irradiated state. In addi-
tion, it is assumed that first, all other material parameters should
stay constant from a bainitic steel to another and second, that irra-
diation only changes the initial critical shear stress s0 and the
mean free path of the dislocations.

For the evaluation purpose, tensile test simulations are realized
with a simplified aggregate of 15 � 15 � 15 quadratic finite
elements with a random crystalline orientation for each finite
element. The optimized values of the material parameters are ob-
tained with the SiDoLo software [23] by minimizing the difference
between experimental results and the macroscopic response of the
polycrystalline Finite Element computations. The experimental
data base contains results for two temperatures on the unirradi-
ated material and two different temperatures on the irradiated
state.

The optimum set of parameters is given in Tables 3a–3c and the
comparison between experimental and simulation results are plot-
ted in Fig. 1. As expected, irradiation increases the ‘‘friction” stress
s0. The parameter K appears to be temperature dependant but not
irradiation dependant.



Table 3b
Parameters of the hardening law.

s0 (MPa) asu

Unirradiated Irradiated

37.4 72 0.251

Table 3c
Parameters of the dislocation density evolution law.

q0 (m�2) gc0 (nm) Egc (eV) K

Unirradiated Irradiated

�90 �C �50 �C �120 �C �50 �C
1014 18.6 2.17 � 10�2 65.9 44.5 110 43.4
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Fig. 1. Parameterization of the model using four tensile tests results on Euroma-
terial A: solid lines represent the simulation results and closed symbols the
experimental data.

Fig. 2. EBSD map of a 200 � 200 lm2 aggregate of Euromaterial A used to construct
the FE polycrystalline mesh. The grey levels correspond to different values of the
first Euler angle (/1). (Source: VTT).
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Fig. 3. Example of a distribution of the maximum principal stresses inside the
aggregate for three average maximum principal stresses: 1200, 1630 and 1920 MPa
(unirradiated material at �50 �C).
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4. Aggregate simulations

The constitutive equations are now used in finite element com-
putations of aggregates with special boundary conditions assuring
an approximately constant stress triaxiality ratio of 2.5 under
plane strain state. These mechanical conditions are assumed to
be representative of those found in the process region of a crack
tip. The finite element mesh of the aggregate is built from an EBSD
map plotted in Fig. 2. The size of each finite element is Vel =
1 � 1 � 1 lm3.

Finite element method computations are performed with the
crystal plasticity model and for the four identification conditions
of the material parameters presented previously. The results are
post-treated in order to study the stress distributions and in partic-
ular, the maximum principal stress distributions since these results
are used to predict the onset of brittle fracture (Fig. 3). In a sense, it
is here assumed that the finite element simulations that are run on
only one type of large aggregate give access to the same distribution
of extreme values than the distribution that would be obtained
with several simulations on different small aggregates (with differ-
ent shape and crystallographic orientations for the grains constitut-
ing such small aggregates). This last way of obtaining distribution of
extreme values will be followed in a future work.

The stress field is averaged inside each element prior to gener-
ating the stress distributions. The stress distributions correspond
thus to the distributions of mean stresses over a 1 lm3 elementary
volume. The most useful part in these distributions corresponds to
the highest values, which are described using a Gumble type func-
tion for simplicity. Other functions could have been used (Weibull
for instance) but it happened that the Gumbel function correctly
matched the numerical distributions obtained from aggregate
simulations.

And so, the probability to find a maximum principal stress high-
er than a given value rI in one finite element out of a polycrystal-
line aggregate submitted to an average maximum principal stress
hrIi and an average von Mises stress hrMisesi can be expressed as:

Pðr� > rIÞ ¼ 1� exp � exp � rI � hrIi
a1hrMisesi þ b1

þ c1

� �� �� �
ð8Þ

The identified values of a1, b1 and c1 are presented in Table 4. Fig. 4
shows three fittings of the extreme values of the stress distribution
according to Eq. (8) and for three levels of the mean principal axial
stress. The fittings only consider cumulative probabilities above
90%. The denominator of Eq. (8) is responsible for the scatter of
the distribution. This scatter appeared to be a non-linear increasing
function of the amount of macroscopic plastic strain [12] relatively
independent of the temperature and of the stress triaxiality ratio.
However, even though this relation seemed promising, very few
high values of macroscopic plastic strain could be used to identify
such a non-linear relation. Moreover, some discrepancies did not al-
low to have a confident estimation for this function [12]. Finally, it



Table 4
Parameter values for the distributions of the maximum principal stresses.

Condition Temperature (�C) a1 b1 c1

Unirradiated �90 0.105 �25.16 1.26
�50 0.126 �38.463 1.40

Irradiated �120 0.142 �64.64 1.19
�50 0.125 �44.59 1.36
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Fig. 4. Fit of the extreme values for three average maximum principal stresses:
1200, 1630 and 1920 MPa (unirradiated material at �50 �C).
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happened that a linear function of the macroscopic von Mises
equivalent stress with temperature dependant parameters was bet-
ter suited to fit numerical data. The type of distribution function
(Gumbel) and of the variables used to feed this function is not defin-
itive and more general work on this matter should be realized.

5. Towards the modelling of brittle fracture

The ultimate goal of the present modelling is the prediction of
brittle fracture at different temperature and irradiation conditions.
The proposed model is based on a rough description of cleavage
fracture: in a representative volume V0, micro-cracks initiate for
a certain level of plastic strain and then propagates when a local
stress reaches a critical value. These assumptions are similar to
those of the Beremin model [2] albeit heterogeneous stress (due
to the microstructure) is used instead of an averaged stress, using
the data from finite element method computations.

The fracture stress rf of the volume Vel (typically 1 lm3) is the
stress needed to overcome propagation barriers, like the carbides–
matrix interfaces. This quantity is given by a Griffith type criterion:

rf ¼

ffiffiffiffiffiffiffiffiffiffiffiffi
k

E:cf

r

s
ð9Þ

where k is a micro-crack shape factor, E the Young modulus, cf the
fracture surface energy and r is the size of the micro-defect which
becomes instable (i.e. propagates) under the local stress rf . In
the following, we will take cf = 8 J/m2.

If we assume that the micro-cracks are mainly produced by the
cracking of the carbides or of their interface with the ferritic ma-
trix, we can approximate the size of the micro-cracks to the car-
bides size. Using Eqs. (8) and (9), it is possible to compute the
probability of an average sized carbide to be at the origin of the
brittle fracture in a given aggregate, as a function of the average
maximum principal stress.

In the real material, the carbide size is distributed. This distribu-
tion has been measured on bainitic steels by Lee et al. in 2002 [24].
They proposed the following probability function for the carbides
radii (in lm):
FðrÞ ¼ Pðr < r0Þ ¼ 1� exp � 2r0 � 0:00917
0:10158

� �1:192
 !

ð10Þ

To take into account this distribution of carbide sizes, we pro-
pose to compute the probability of failure of carbide by integrating
the probability density of the carbide size weighted by the proba-
bility that the local stress will be higher than the fracture stress
which is a function of the size (Eq. (9)). So the probability of failure
of volume v containing 1 carbide embedded in an aggregate under
the macroscopic loading R is written:

Pf ðv ;RÞ ¼
Z þ1

0

dFðrÞ
dr

PðrIðRÞ > rf ðrÞÞdr ð11Þ

The term under the integral symbol in Eq. (11) is graphically
presented in Fig. 5. It can be observed that the curve portion above
the critical carbide diameter corresponds to the classical Beremin
term (Eq. (9)) whereas the curve portion below this value corre-
sponds to the amplification effect, induced by the microstructure.
This new part named the ‘‘aggregate” effect, which is a function
of the macroscopic loading (i.e. maximum principal stress and tri-
axiality) and of temperature.

To compute the probability of failure of a representative volume
V0, we have to account for the number of carbides N present in this
volume, which is the product of the number density of carbide nc

with V0. In the following, we choose V0 = (50 lm)3 and nc = 0.76
lm�3 [25].

We now make the assumption that the weakest link theory
could be used to describe the fracture of the volume V0. This means
that we assume a failure of the representative volume V0 is due to
the first instable micro-crack i.e. there is no micro-crack arrest. In
this condition the probability of non-fracture of V0 is the product of
the probabilities of non-fracture of the N volume elements v of V0

containing one carbide particle.

1� Pf ðV0;RÞ ¼
Y
v2V0

ð1� Pf ðv ;RÞÞ ¼ ð1� Pf ðv;RÞÞnc V0 ð12Þ

If we now consider a macroscopic plastic zone of volume Vp

containing a large number of volumes V0, the macroscopic proba-
bility of failure could be written again from the application of the
weakest link and the previous equation can be rewritten into a
continuous form. Considering Eq. (10), the general form of the
probability of failure is

Pf ðVpÞ ¼ 1� exp
Z

V02Vp

ln 1�
Z þ1

0

dFðrÞ
dr

PðrIðRðV0ÞÞ
�� 

> rf ðrÞÞdr
��ncV0

dV

!
ð13Þ
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It is possible to incorporate in this equation the analytical
expressions of the density of the carbide size distribution and of
the distribution of the extreme values of the maximum principal
stresses [12].

The present model can be considered as an extension of the
Beremin model [2] incorporating an explicit dependence on the
stress state and plastic strain (Eq. (8)).

A tentative evaluation of the fracture probability of CT25 type
specimen is performed with the above-described brittle fracture
model. The onset of brittle fracture is assumed to occur in the first
row of elements located at the crack tip. We consider that these
elements have a volume equal to V0 = (50 lm)3 and that they are
all submitted to the same stress state with a constant stress triax-
iality ratio of 2.5. Under these conditions, Eq. (13) becomes:
Pf ðCT25Þ ¼ 1� 1�
Z þ1

0

dFðrÞ
dr

PðrIðRðV0ÞÞ > rf ðrÞÞdr
� �� � 25

0:05ncV0

ð14Þ

In Fig. 6a, the failure probabilities versus the maximum princi-
pal stress are plotted considering a constant fracture surface en-
ergy cf equal to 8 J/m2 and the distribution of carbide sizes
reported in Eq. (10) with a maximum particle diameter of 0.4 lm.
For a given fracture probability, the average maximum principal
stress decreases with temperature. Moreover, for a fixed tempera-
ture and fracture probability, the average maximum principal
stress is larger for the irradiated state than for the annealed state.
These two findings are a priori in contradiction with the expected,
experimental results. In fact, the curves in Fig. 6 shows that plastic-
ity is more developed at higher temperature for the same average
macroscopic stress state and therefore, a more heterogeneous
stress state is present in the polycrystal. The direct consequence
of this result is that, for a given mean stress, it is easier to find a
local stress larger than a given critical stress when the temperature
is larger. Accordingly, the irradiated state leads to a stiffer behav-
iour and thus, for a given macroscopic stress state, plasticity is lim-
ited by the irradiation as well as the heterogeneity of the stress
field in the aggregates. Therefore it is more difficult to find a stress
larger than a critical stress after irradiation.

However, the modelling results become consistent with the
experiments if the fracture probability is expressed as un function
of the average plastic strain (Fig. 6b) since, this time, the average
plastic strain for a given failure probability increases with temper-
ature and decreases with an augmenting irradiation dose. In other
words, for a given failure probability, increasing the irradiation,
dose and decreasing the temperature yield the same effect: to
diminish the ductility of the material.
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Another result of the model is the effect of stress triaxiality. As a
matter of fact, for a given fracture probability, the higher the stress
triaxiality, the larger the average mean principal stress and the
smaller average plastic strain.

We now assume that the fracture surface energy is an increas-
ing function of temperature. In Fig. 7, the fracture probabilities are
calculated again considering this time that the ‘‘apparent” fracture
energy surface [26]:

cf ðTÞ ¼ 1:53 expð0:009ðT þ 273:15ÞÞ ð15Þ

In this case, the fracture probability curves versus the average
maximal principal stress describe the expected effects. For a given
fracture probability indeed, an increasing temperature produces an
increase of the average maximal principal stress. Moreover, an
increasing irradiation dose reduces the average maximal principal
stress associated with a given fracture probability.

Due to the increase of cf with the temperature, the above-de-
scribed effects of temperature and irradiation on the fracture duc-
tility are even more pronounced (Fig. 7b).

Down to �50 �C and for a given fracture probability, the average
maximum principal stress remains higher in the irradiated state
than in the annealed state (even if the fracture ductility is higher
for the annealed state). This effect might comes from the irradia-
tion changes the magnitude of the ‘‘apparent” fracture surface en-
ergy, which has not been taken into account in the present work.

6. Conclusions

In the frame of the multi-scale approach of the fracture tough-
ness prediction defined in the PERFECT project, we have proposed a
new crystal plasticity model and applied it to the computation of
the heterogeneity of stresses inside a reference polycrystalline
aggregate, defined in the RPV material project. The following con-
clusions have been presented:

� The proposed crystal plasticity model is able to take into
account the effect of temperature and the effect of irradiation
hardening with the modification of two key parameters: respec-
tively the parameter controlling the dislocations multiplication
and the critical resolved shear stress.
� The maximum values of the maximal principal stresses are

accurately described by a Gumbell function.
� The study of the different computed fracture stress distributions

shows an influence of the irradiation and of the temperature on
the average fracture stress and its scatter.
� The basis of an original local approach model taking into

account the stress heterogeneities induced by the microstruc-
ture are proposed.
The ongoing work on this modelling is concerned with the
improvement of the crystal plasticity model to explicitly account
for irradiation damage defects. The next step in fracture modelling
is to introduce the model in a finite elements code and validate it
on fracture toughness results. It is a challenging task as it seems
that temperature dependence of the apparent surface energy is
to be derived from models treating lower scale phenomena [27,28].
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